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The effect of radial impeller geometry on the link between power
and flow numbers.
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aSchool of Chemical Engineering and Analytical Science The University of Manchester Manchester M13 9PL UK
bUnilever R&D Port Sunlight Laboratory Quarry Road East Bebington Wirral CH63 3JW UK

Abstract

Impellers in stirred vessels are often characterised by dimensionless numbers such as the power

and flow numbers. These are often crucial in determining mixing performance. Previous studies for

high-shear mixers have yielded correlations between the power, flow, and mixer geometries, since

in these mixers the flow can be independently varied. For stirred vessels, dimensional analysis is

typically used to develop such correlations, leading to less accurate predictive models. Here, we

combine an analysis based on a balance of angular momentum balance with CFD simulations to

comprehensively study the effect of impeller geometry on the relationship between power and flow.

The results allow for the prediction of the flow generated by the impeller based on the easily mea-

surable impeller power consumption and the geometrical dimensions of the impeller. The models

are accurate over a wide range of geometries. Furthermore, we are able to predict both the primary

and total flows.

∗Corresponding author
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1. Introduction

Mechanically stirred vessels are mixing devices commonly used in various industries such as

pharmaceutical, agricultural, chemical, and food processing. They can be used for a variety of pro-

cesses including the blending of liquids, suspension of solids, emulsification of immiscible liquids,

dispersion of gases, and transfer of heat and mass. There are many different types of impeller, each

designed to meet a specific process requirement or objective1. Impellers such as Pitched Blade Tur-

bines (PBT) and Rushton Disk Turbines (RDT) operate at relatively low speeds but provide large

bulk circulation, or flow. Those such as Sawtooth Impellers typically operate at higher speeds and

provide higher shear rates, making them particularly useful for emulsification and gas dispersion.

Due to the large variety of impeller geometries, there is a need to characterise each impeller so as

to predict its performance in a specific applications. The Power number, Po, is analogous to a type

of drag coefficient of the impeller. It is defined by

Po = P
�N3D5

(1)

where P is the power consumption of the impeller, � is the density of the fluid surrounding the

impeller, N is the rotational speed of the impeller, and D is the diameter of the impeller. The

power number can be used to predict mixing time in fully turbulent stirred vessels3. Having access

to the power number of an impeller is also particularly useful for processes such as emulsification.

Mechanistic droplet break-up models for emulsification in the turbulent inertial regime rely on

the knowledge of the turbulent energy dissipation rate2,4–6, �. Experimental measurement of the

turbulent energy dissipation rate in mechanically stirred vessels is notoriously difficult7, and so it

is much more practical to instead relate � to the impeller geometry. The recommended method

is to use the power per impeller swept volume8, highlighting the importance of prior knowledge

of the power number. In fact, it has been stated that the power number is often considered the

most important hydrodynamic impeller characteristic9. A commonly used measurement method

for impeller power consumption is measurement of torque on the shaft of the impeller. The power
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is then expressed by

P = 2�N|m3| (2)

where m3 is the axial component of the torque vector, mi, on the impeller blades and shaft (the unit

vector in the axial direction here is ê3). Other available methods, such as measuring the temperature

increase of the fluid due to energy dissipation, are generally more difficult and less reliable.

The flow number, NQ, of an impeller characterises the pumping capacity of the impeller and is

defined by

NQ =
Q

ND3
(3)

whereQ is the volumetric flow rate of the fluid exiting the impeller blades, or the flow rate generated

by the impeller. For axial impellers, the flow rate is typically measured on a circular surface just

below the impeller with a diameter equal to that of the impeller. For radial impellers, it is measured

on a cylindrical surface with height equal to the height of the impeller blades, and radius just slightly

larger than the radius of the impeller with the axis of rotation passing vertically through the center

of the shaft. Due to the way in which the flow number is measured, it characterises only the flow of

fluid that is directly pumped by the impeller, the primary flow. Any fluid which is entrained by the

jets of fluid leaving the impeller is not accounted for. Summing the primary flow and the entrained

flow provides the total flow generated by the impeller. It is likely that the total flow provides a

better description for circulation in the vessel, since entrained flow still accounts for some of the

circulation. It is therefore recommended to exercise caution when using the flow number calculated

from the primary flow for such purposes10.

For standard designs or geometries of impellers, the power and flow numbers can usually be

found in literature1,10. It is far more advantageous to develop accurate correlations between the

power number, flow number, and the impeller/vessel geometry since for a novel geometry or design

there will not be a need for complex experimentation in order to obtain this information. Compu-
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tational Fluid Dynamics (CFD) can be an extremely useful tool in this respect as many different

designs can be investigated and geometries can be varied in small, systematic increments to develop

better and more well validated correlations. To obtain the same results experimentally, each im-

peller would have to be fabricated and flow visualisation experiments would need to be performed

for each impeller. As already mentioned, such experiments are often costly and complex due to

safety concerns as lasers are often used.

A number of previous studies have attempted to develop such correlations. A fairly traditional

method for predicting the power consumption of an impeller is through the use of dimensional

analysis10–12. Provided the tank is fully baffled, and so no vortex is created, dimensional analysis

informs that the power consumption is a function of the impeller Reynolds number, Re, and geo-

metrical ratios such as D∕T where T is the diameter of the vessel. The impeller Reynolds number

is given by

Re =
�ND2

�
(4)

where � is the dynamic viscosity of the fluid. The relationship between the power consumption and

the Reynolds number has been well established experimentally. In the laminar regime the power

number is inversely proportional to the Reynolds number, with the constant of proportionality being

a function of the impeller geometry1,13–15. The impeller geometry here can even be extended to

Rotor-Stator mixers, which are high shear mixers characterised by sets of high speed rotors each

closely surrounded by a screen, or stator16.

In the fully turbulent regime, the power number of an impeller in a baffled vessel becomes

independent of the Reynolds number and solely a function of geometrical parameters. A large

number of authors have attempted to correlate the fully turbulent power number to the geometrical

parameters for the stirred vessel18–22. However, the development of more accurate correlations

over a wide range of geometries with experimental results is difficult since torque measurements

for smaller geometries are very small and therefore difficult to measure20. There are also multiple

geometrical variables which can be changed, and so the number of experiments needed to develop
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statistical models in this way is potentially very large.

Using the dimensional analysis technique to try and develop correlations between power and

geometry means that the effect of the generated flow on the power consumption is not taken into

account. Rotor-Stator mixers are an interesting type of mixer here since they can be, and are often

are, operated in batch and in-line mode. When operated in in-line mode, the effect of flow number

on the power number can be easily investigated for a given geometry or design. With typical designs

of impellers in stirred vessels this is not easily possible because the flow rate can not be varied

independently from the geometrical parameters. There are some designs of mixer in which this is

possible, such as the "lifter turbine" described and shown by Oldshue13. It was shown that there

exists a positive linear relationship between the power number and the flow number in the lifter

turbine. This relationship, being linear and with a non-zero intercept, has not been incorporated

into any other predictions of the power number in stirred vessels. The same relationship has been

found for both in-line23–25 and batch26,27 rotor-stator mixers operating in the fully turbulent regime.

Interestingly it was found that when changing between batch and in-line mode in a rotor-stator

mixer, not only is the relationship between the flow number and the power number the same form,

but the empirical constants are also the same. That is, the effect of flow number on the power

number is independent of the mode of operation provided the geometry of the impeller and screen

do not change.

The full equation for predicting power number in rotor-stator mixers is given by

Po = k
Re

+ k1NQ + PoZ (5)

where k, k1, and PoZ are empirical constants to be obtained from experimental data which depend

on the mixer geometry27. Of course, in the laminar regime where Re is small, the first term on the

right hand side of Equation (5) dominates and the remaining terms are negligible. In the turbulent

regime where Re is high, the opposite is true. Since Equation (5) is valid for both rotor-stators and

stirred vessels in the laminar regime, it would also seem logical that the same is true for the fully

turbulent regime. As mentioned, this is challenging to prove since in stirred vessels it is not easy
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to independently change NQ for a fixed geometry.

A number of authors have attempted to correlate the power and flow numbers specifically for

radial impellers in stirred vessels by treating the impeller as an analogue of a centrifugal pump.

The power consumption of a pump can be expressed by

P = �QgH (6)

where g is the acceleration due to gravity, and H is the head generated by the pump. The power

number can then be expressed by

Po = NQ

[

gH
N2D2

]

(7)

where the term in the square brackets represents the head coefficient10. Equation (7) differs from

Equation (5) in the fact that there is a direct proportionality. In Equation (5) the non-zero intercept

is attributed to the turbulence generated by the mixers. Decomposition of the head into a turbulent

contribution and a flow contribution might be what is needed to equate the two expressions. The

Reynolds number-dependent term present in Equation (5) will likely arise in Equation (7) provided

the shear stresses are taken into account. Considering this, it would seem that Equations (5) and

(7) might not be so dissimilar. However, Equation (5) has been well validated experimentally and

so it would seem logical that a similar expression to Equation (5) should be created for impellers

in stirred tanks. For axial flow impellers, the following relationship has been proposed28.

Po = 1
�
NQ3

(

D
T

)

(8)

where � is a pumping efficiency. Here it has been assumed that the head coefficient is proportional

to the square of the flow number, which seems reasonable since the flow velocity might define a

characteristic velocity scale for the impeller. The suggestion that the power number is proportional

to the cube root of the flow number has also been made by Nienow29. The author mentions that

more work is needed to verify this relationship in order to improve correlations between the impeller
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geometry and the mixing time. This is difficult to achieve since often for a given design of impeller

there is only data for maybe one or two different geometries. For example, for a Rushton turbine,

there is very little data available for impellers with different blade widths. With data for only one

or two different blade widths, it is difficult to determine and quantitatively assess exactly how the

geometry affects the relationship between power and flow. For this reason, the correlations that have

been developed using this approach often are inaccurate over the wide range of impeller designs

used in industry. With regards to the use of dimensional analysis Bates30 has stated "In correlating

variations in geometry, many investigators have included geometry effects as simple factors directly

in the power number expression. This can be done as a matter of convenience, but there is no

theoretical reason for doing so, and the practice has many possibilities for error". With a deeper

understanding of the effect of the geometry on the power and flow, it would be possible to improve

the correlations currently used, so that predictions of these important characteristics are able to be

made over a much wider range of impeller designs and geometries.

A more fundamental approach for predicting the power number as a function of the flow num-

ber in stirred vessels is to apply an angular momentum balance around the impeller. The power

consumption of an impeller can be derived from the torque acting on the impeller blades. Torque

is defined as the time rate of change of angular momentum, where angular momentum is defined

as the vector product between the position and velocity vectors. Considering an arbitrary material

volume, Ω, surrounding the impeller, the torque acting on the material volume is expressed by

Mi =
D
Dt∰Ω(t)

"ijkrjuk dV (9)

where Mi is torque on the material volume Ω(t), "ijk is the Levi-Civita symbol so that "ijkajbk

represents the vector product between the two vectors ai and bi, ri is the position vector, and ui

is the velocity vector. Using Reynolds transport theorem, and assuming a control volume fixed in

space, Equation (9) can be re-written as
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mi =∰Ω

)
)t
�"ijkrjuk dV +∯)Ω

"ijkrjukuln̂l dA + mi,imp (10)

where mi is the torque, here being the intensive property, ni is the unit normal vector to the closed

control surface )Ω, andmi,imp represents the torque acting on the impeller blades. The torque acting

on the impeller here is considered as a source term of angular momentum. From this source term,

the power number on the impeller will be derived. The torque acting on the control volume here

can be thought of as another source term of angular momentum arising from forces acting on the

control volume itself. Since body forces here are negligible, the force acting on the control volume

will solely be surface stresses. Considering this, Equation (10) can be re-written as

mi,imp =∯)Ω
"ijkrj�kln̂l dA −∰Ω

)
)t
�"ijkrjuk dV −∯)Ω

�"ijkrjukuln̂l dA (11)

where �ij represents the total stress tensor, which can be decomposed into deviatoric and isotropic

(pressure) tensors such that �ij = �ij − p�ij . In fully developed laminar flows considered to be at

steady-state, the velocity is not a function of time and so the transient term can be dropped from

Equation (11), and the resulting expression perfectly represents the definition of the steady-state

torque on the impeller walls. In fully developed turbulent flows, the velocity is no longer indepen-

dent of time and so this must be addressed. Using the Reynolds decomposition, the instantaneous

velocity is expressed by the sum of a time-average velocity and a fluctuating velocity such that

ui = ⟨ui⟩ + ui
′ . This can be substituted into Equation (11) and the time average can be taken,

assuming steady-state, to yield

⟨mi,imp⟩ =
⟨

∯)Ω
"ijkrj�kln̂l dA

⟩

−
⟨

∯)Ω
�"ijkrj(⟨uk⟩ + uk

′)(⟨ul⟩ + ul
′)n̂l dA

⟩

(12)

where the angled brackets represent the time average of the term contained within. The expansion

of the second term on the right hand side of Equation (12) will result in 4 terms. However, using

the definitions that ⟨⟨ui⟩⟨uj⟩⟩ = ⟨ui⟩⟨uj⟩ and that ⟨⟨ui⟩uj
′
⟩ = ⟨ui

′
⟨uj⟩⟩ = 0, Equation (12) can be

re-written as

8



⟨mi,imp⟩ =
⟨

∯)Ω
"ijkrj�kln̂l dA

⟩

−∯)Ω
�"ijkrj⟨uk⟩⟨ul⟩n̂l dA−

∯)Ω
�"ijkrj⟨uk

′ul
′
⟩n̂l dA

(13)

Using Newton’s law of viscosity, and recognising that the first term on the right hand side of Equa-

tion (13) contains no products of velocity vectors, Equation (13) can be re-written as

⟨mi,imp⟩ = −∯)Ω
2�"ijkrjSkln̂l dA −∯)Ω

�"ijkrj⟨uk⟩⟨ul⟩n̂l dA−

∯)Ω
�"ijkrj⟨uk

′ul
′
⟩n̂l dA

(14)

whereSij represents the mean rate-of-deformation tensor. Note here the sign switch of the first term

in the right hand side of Equation (14) due to the fact that momentum is transported from regions

of higher velocity to lower velocity. Also note the pressure term from the total stress tensor has

been neglected due to the fact the pressure tensor is isotropic and the vector components are always

parallel to the unit vector normal to )Ω. Using Equations (1), (2), and (14), the power number on

an impeller within a fixed control volume can be expressed as

Po =

Po1
⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞
2�N
�N3D5

|

|

|

|

∯)Ω
2�"3jkrjSkln̂l dA

|

|

|

|

+ 2�N
�N3D5

|

|

|

|

∯)Ω
�"3jkrj⟨uk⟩⟨ul⟩n̂l dA

|

|

|

|

+

PoT
⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞
2�N
�N3D5

|

|

|

|

∯)Ω
�"3jkrj⟨uk

′ul
′
⟩n̂l dA

|

|

|

|

(15)

Here, each of the terms on the right hand side has been projected in the axial direction, ê3, to

give the contribution to the impeller power consumption. The terms in the over-braces, Po1 and

PoT, represent the contributions to the power number from themean shear stress and turbulent stress
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Figure 1: Schematic of cross-section of cylindrical control volume surrounding a radial impeller. Solid lines
represent impeller walls. Dashed lines represent control volume boundaries.

respectively. Note here the magnitudes of the right hand terms are taken since the sign of the torque

on the impeller only defines rotational direction and does not affect the value of the power number.

It is assumed here that all terms remain the same sign throughout this study. Terms changing signs

is highly unlikely as the physical consequences would be very unusual.

Equation (15) gives the power number of any impeller, axial or radial, of any design. The

control volume surrounding the impeller is also totally arbitrary. The purpose of this derivation is

to develop an accurate expression relating the power number and flow number for a radial impeller.

The flow number measured and averaged over a period of time across some control surface can be

given by

NQ =
1

ND3 ∯)Ω
⟨ui⟩n̂i dA (16)

As mentioned, the flow number for a radial impeller is usually measured on a cylindrical surface

with a radius just larger than that of the impeller blades. Suppose now instead of an arbitrary control

volume, the control volume in question is now a cylinder which closely surrounds the impeller. A

schematic of such a system is given in Figure 1. For a radial impeller, a reasonable assumption to

make about the second term on the right hand side of Equation (15) is that the flux of momentum

due to mean flow convection across the entire control surface is dominated by the flux across the

cylindrical surface, )Ω3 in Figure 1. Since it is only the torque acting on the impeller in the axial
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direction which is of interest here, the diameter of the impeller and the tangential velocity across

)Ω3 can be used to calculate the vector product term. This means ri can be replaced with D∕2,

and the first component of velocity (crossed with ri) can be assumed to be proportional to the tip

speed, utip = �ND. Then, also using Equation (16), the integral term for the convection term can

be replaced with (1∕2)���NQN2D5, where � is a constant of proportionality defined as

� = 2
NQN2D5 ∯)Ω

"3jkrj⟨uk⟩⟨ul⟩n̂l dA (17)

The constant � is essentially a ratio between the actual flux of angular momentum and the ideal

flux. Here the ideal flux assumes that the amount of flux across surfaces )Ω2 and )Ω1 is negligible

compared to that across )Ω3. The assumption is also made that the tangential component of veloc-

ity is uniform across )Ω3 and equal to the tip speed of the impeller, and the radial velocity is given

byQ∕A and is again uniform across )Ω3. In this sense, � can be thought of as a type of momentum

flux correction factor, which is commonly used in linear momentum analysis. � is naturally depen-

dent on the non-uniformities of the velocity profiles, as is the case in linear momentum analysis.

However, � is also dependent on the quantity by which the tangential velocity is below the impeller

tip speed across )Ω3.

The first term on the right hand side of Equation (15) can also be simplified assuming the

majority of the shear stress acting on the control surface is acting on )Ω3. The relevant components

of the rate-of-deformation tensor will be expected to scale withN and the area of )Ω3 will be given

by �DW whereW is the height of the impeller blades. The integral term for the shear stress term

can therefore be given by kL��ND2W where kL is an assumed constant of proportionality. In a

similar manner, if the transport of momentum due to turbulent eddies is concentrated across )Ω3,

the integral term in the third term on the right hand side of Equation (15) can be replaced with

kt��N2D4W assuming that the fluctuating velocities scale with the tip speed of the impeller. kt

here is another constant of proportionality. Equation (15) can therefore potentially be simplified as
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Po =

Po1
⏞⏞⏞⏞⏞⏞⏞

2�2W
D
kL
Re
+��2NQ +

PoT
⏞⏞⏞

kt�
2W
D

(18)

Equation (18) confirms the trend between the power number and the Reynolds number that is fre-

quently observed experimentally23–25. It also shows the dependency of the power number on the

flow number. The potential dependency of the terms on the ratio W ∕D arises from the fact that

the flow number is always measured from the bottom to the top of the impeller, essentially creat-

ing a control surface of heightW . The assumed constants of proportionality kL and kt are indeed

constant if the distributions of the normalised shear and turbulent stresses respectively are constant

with changing impeller width Similarly, � is a constant if the shape of the normalised tangential

and radial velocity profiles are constant in the axial and angular directions for various impeller

geometries.

Equation (18) also shows that, provided there are no friction losses, the term ��2 is the head

coefficient which arises from the pump analogy in Equation (7). Interestingly, the pump analogy

shown in Equation (7) will yield a similar equation to Equation (18) if the following assumptions

are made about the head term: if the head term is split into a pumping head and a head loss due

to friction, the assumption can be made that pumping head is proportional to N2D2 and the head

loss due to friction is proportional to (N2D2)∕Re in the laminar regime andN2D2 in the turbulent

regime. Since the head is multiplied by the flow rate in Equation (7), each term in the equation

resulting from the inclusion of these assumptions would be multiplied by the flow number. In

Equation (18), the term related to transport of angular momentum due to the mean flow is multiplied

by the flow number, but the remaining two terms are multiplied by the ratio W ∕D. This can be

explained by the definition of the flow number. For impellers in stirred vessels, the flow number

describes the ratio between the actual primary flow leaving the impeller region and the ideal flow

if the velocity were uniform and equal to the tip speed across the entire control surface and if the

ratioW ∕D were equal to unity. Therefore it is expected that the flow number would be somewhat

proportional to W ∕D and so the slight differences between the pump analogy approach and the
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conservation of momentum approach can be explained. The effect of W ∕D on Po is similar to

that on NQ since both are rendered dimensionless with only the impeller diameter instead of the

diameter and width. Bates19 discusses this point, and results from O’Connell and Mack31 show

that for simple turbines Po = (W∕D)1.09.

The discussion regarding how the proportionality constant for the laminar contribution, kL,

changes between the turbulent and laminar regimes is complex. However, since this contribution

is negligible in the turbulent regime, it is only information regarding kL in the laminar regime that

is important for predicting the power number across both the laminar and the turbulent regime.

Also, if Equation (18) were to be physically accurate over both the laminar and turbulent regimes,

it would suggest that the contribution due to turbulence (the third term on the right hand side) were

simply negligible compared to the mean shear contribution. However, in reality, the turbulent con-

tribution should be equal to 0 in the laminar regime. There is also nothing to suggest the value

or function for � will not significantly change between the laminar and turbulent regimes. In the

laminar regime this term will likely become far more complex, due to the fact that the velocity is

primarily tangential but the convection term contains the product of tangential and radial veloc-

ity components. However, the convection term in the laminar regime can be neglected due to its

relatively small contribution compared to the shear stress term. For the model to be as physically

accurate as possible, it might be thought of to use piecewise functions for each of the three terms.

However for the purpose of just predicting the power number, the equation can be left in the same

form as Equation (18). It just needs to be noted then that kL is specifically fitted only for the laminar

regime, and � and kt are specifically fitted only for the turbulent regime.

The approach of using the conservation of angular momentum would seem much more benefi-

cial than other methods such as dimensional analysis for creating accurate, meaningful, correlations

between the power number and the flow number since the surface integrals for each term relating

to the flux of angular momentum can be directly computed with CFD. This provides much more

information on the three constants of proportionality shown in Equation (18). Using the centrifugal

pump analogy, assumptions have to be made about the system before any data can even be analysed,
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leading to potential misunderstandings about the empirical constants obtained.

The aim of this study is to explore the effects of geometry changes on the relationship between

power and flow in radial impellers. Using an angular momentum balance on a control volume

around the impeller, we aim to explicitly study the effects geometry changes on the different contri-

butions to the power number from laminar shear, pumping, and turbulence. Accurate correlations

can be formed from the data in this study, since the use of well validated CFD simulations provides

access to the exact integral terms which are required. To the best of our knowledge, such a study

has not been found elsewhere in the literature.

2. Materials and Methods

2.1. Impeller geometries

The width and the diameter of impeller blades were varied systematically in this study. In the

fully turbulent regime, a Rushton turbine was one of the impellers studied, along with an impeller

similar to a Rushton turbine where the blades extend all the way to the shaft (ie. there is no gap

between the shaft and the blades). For the laminar regime, the Rushton geometry and the standard 6-

bladed radial paddle (without the disk) were studied. The diameter of the diskwas kept in proportion

with blade diameter for all cases. The blade thickness for all geometries was kept constant at 2.5mm

whilst the disk thickness was kept constant at 1.25mm. As such, the ratio of W ∕D can not be

absolutely independently studied here as other ratios such as that of the blade thickness and diameter

are also changing. However, it was assumed that these ratios would only have a small affect on the

power number relative toW ∕D. The range of values ofW andW ∕D investigated in this study are

given in Table 1
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(a) (b)

Figure 2: Example geometry for impellers studied in the turbulent regime. (a) - 6-RDT. (b) - Paddle-with-disk
geometry. Green transparent volume shows the non-inertial reference frame used to model impeller rotation. Grey

faces represent solid boundaries, at which the no-slip condition is applied.

The impeller clearance to tank height ratio (C∕H) was kept constant at a ratio of 1∕3 since we are

primarily interested in the impeller geometry itself and it is known that the clearance only has a

small effect on the power consumption of turbine impellers1. The height and diameter of the vessel

were also constant at 0.24m, so thatH∕T = 1.

Table 1: Range of impeller width and diameters investigated in this study with corresponding power and flow number
ranges.

D [m] W ∕D [m] Po [-] NQ [-]

0.06 1/7 - 1/2 2.59 - 12.24 0.48 - 1.62

0.08 1/20 - 1/1 0.19 - 2.59 0.57 - 18.41
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(a) (b)

Figure 3: Schematic showing geometric variables for stirred vessel simulations. (a) - zoomed scale. (b) - full scale.

2.2. CFD simulations

All simulations were run on ANSYS Fluent v19. Simulations were run at steady-state, meaning

only one blade position relative to the baffle position was tested. However, a test was initially con-

ducted to assess the effect of blade position relative to the baffle position on the power number and

it was found that the effect was only small relative to the effect of changing the impeller geometry.

A tetrahedral mesh consisting of roughly 6 million cells was used for the simulations. Mesh density

was increased in the immediate vicinity of the impeller to account for stronger gradients in the flow

variables. A mesh independence test was initially performed to ensure that the solution was not

strongly affected by the mesh density. Details regarding the mesh independence test can be found

in the Supporting Information

Rotation of the impeller was modelled using the multiple reference frame method, in which the

flow equations are solved in a non-inertial reference frame for the fluid surrounding the impeller,

and the equations for the rest of the fluid is solved in an inertial reference frame.

The standard k − � turbulence model was used along with scalable wall functions. The stan-

dard k − � model has been shown to perform similarly to other Reynolds Averaged Navier-Stokes
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Equations (RANS) turbulence models for stirred tank simulations32; and even the Reynolds Stress

Model, which independently solves each component of the Reynolds stress tensor without assum-

ing isotropy, has not been shown to boast significant advantages in this respect. RANS turbulence

models using a linear-eddy viscosity hypothesis, such as the k − � models, assume isotropy of the

normal Reynolds stresses, and also assume a constant ratio between the Reynolds stresses and the

rate-of-strain each tensor component. This is known to cause an under-prediction of the turbulent

kinetic energy and dissipation rates. For studies where these properties are significantly important,

such as studies regarding multiphase flow, linear eddy-viscosity turbulence models are often con-

sidered too inaccurate. However, for this study, since the power number of the impeller, and the

velocity profiles of the mean flow generated by the impeller are well validated using experimental

results, it is assumed the standard k − � model is adequate, especially considering its relatively

small computational expense, allowing more systematic increments in the geometry changes.

The third order MUSCL scheme was chosen as the interpolation scheme for the convection

terms, which is a blended scheme that uses a blend of second-order, or linear, up-winding and

central differencing, thus offeringmore accuracy and less numerical diffusion than the second-order

upwind scheme, but considerably more stability than the central differencing scheme. Gradients,

required for calculation of the diffusive terms and also the linear up-winding of the convection

terms, were calculated using the cell based least squares method, and interpolation of the pressure

was achieved using the PRESTO! scheme. The coupled solver was chosen to solve the system of

linearised equations. The pseudo-transient option for steady-state simulations was used for faster

convergence and more stability. Convergence was achieved when all residuals had dropped by

several orders of magnitude and reached a steady state with regards to the iteration number.

Validation of the CFD results against experimental data, details regarding the accuracy of the

MRF technique, and details regarding the dimensions and locations of the rotating frame of refer-

ence can be found in the Supporting Information.
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3. Results and discussion

3.1. The link between impeller geometry, power, and primary flow

As shown in the introduction, the power consumption of the impeller is calculated by integrating

the convective and diffusive transport of angular momentum over the control volume surrounding

the impeller, that is to say the integrals are taken and summed over surfaces )Ω1, )Ω2, and )Ω3. The

aim of this study is to analyse the relationship between the flow rate generated by the impeller, given

by the integral of the radial velocity over )Ω3. It is therefore intuitive to start making assumptions

about the properties of the flow across surface )Ω3, such as the tangential velocity being equal to the

tip speed of the impeller. It might seem sensible to assume all of the transport is taking place across

surface )Ω3, and so only the transport on surface )Ω3 needs to be modelled via the assumptions

made about the flow. Figure 4 shows � and PoT, related to the convective and turbulent transport

of momentum respectively, calculated using the integral over the entirety of )Ω as functions of

their values where the integral is only considered over )Ω3. Provided there is no contribution

to the transport from surfaces )Ω1 and )Ω2, the data points would lie on the function y = x.

However, as can be seen there is a significant contribution to the total transport from surfaces )Ω1

and )Ω2. It might therefore initially seem that to study the link between the power consumption

of the impeller and the flow generated using an angular momentum balance in this fashion, the

transport from all three surfaces must be accounted for. After analysis of the results, however,

it was found that the additional contribution to the convective transport from surfaces )Ω1 and

)Ω2 essentially cancels out the additional contribution to the total turbulent transport. Although

it is not absolutely clear why this is the case, this fact allows us to solely analyse the transport of

angular momentum on surface )Ω3 for the purpose of modelling in this study. This also potentially

explains why experimental studies have been successful in correlating the flow and the power for

radial impellers.

18



(a) (b)

Figure 4: �, (a), and PoT, calculated using the integral over the entirety of )Ω as functions of their values calculated
solely using the integrals over )Ω3. Hollow symbols represent 6-RDT geometry whilst filled symbols represent the

paddle-with-disk geometry.

The parameters in the model to link the power consumption and the flow generated by the im-

peller, namely � and PoT, will depend on the radial and tangential velocity profiles across )Ω3.

Figures 5 and 6 show respectively the radial and tangential velocity profiles, normalised by the

tip speed of the impeller, generated by the impeller for different impeller widths. Note that the

profile is taken from the bottom to the top of the impeller blades regardless of the width. When

such methodology is used to calculate the flow generated by the impeller, the flow is said to be the

primary flow rate. Each profile is taken at a different angular coordinate so that the angular dis-

tribution of the velocity components, from one blade tip to the next, can be qualitatively analysed.

The results show that the radial velocity increases with the impeller width, despite the tip speed

being constant. The angular distribution of the radial velocity does not seem to vary much with in-

creasing impeller width, however the shape of the radial velocity profiles in theZ direction changes

slightly with increasing impeller width. As the impeller width decreases, the radial velocity profile

becomes flatter, with the radial velocity increasing at the top and the bottom of the impeller blades.

Since the radial velocity does not reach zero at the top and the bottom of the impeller, there is a
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difference between the primary flow and total flow; ie. there is some flow generated by the impeller

which is entrained above and below the impeller blades, instead of the all the flow being directly

pushed by the blades of the impeller which is mostly the case for the larger impeller widths.

(a) (b)

(c)

Figure 5: Normalised radial velocity profiles at various angular coordinates in between impeller blades forW ∕D
ratios of (a) - 1∕7, (b) - 1∕5, and (c) - 1∕3. D = 0.08 in all cases.
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(a) (b)

(c)

Figure 6: Normalised tangential velocity profiles at various angular coordinates in between impeller blades forW ∕D
ratios of (a) - 1∕7, (b) - 1∕5, and (c) - 1∕3. D = 0.08 in all cases.

The tangential velocity profiles, Figure 6, show that the maximum tangential velocity stays

roughly constant at a value equal to the tip speed as the impeller width increases. However, con-

trary to the radial velocity, there is a significant change in the angular distribution of the tangential

velocity as the impeller width changes. As the impeller width decreases, the tangential velocity

becomes a strong function of the angular coordinate. The tangential velocity is high and not so

much a function of the blade width near the blade tip (at angles of 40 and 50 degrees), but when
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moving between one blade and the next, the tangential velocity drops significantly when the im-

peller width is decreased. Considering the definition of �)Ω3 , this change in the angular distribution

of the tangential velocity profiles will have a strong influence on �)Ω3 . This will also have a much

stronger influence than the change in the shape of the radial velocity profiles, since �)Ω3 contains

the flow number in the denominator.

Rather than attempt to quantify the change in the angular distribution of the tangential velocity,

it might be sensible to suggest that the change in the angular distribution of the tangential velocity is

linked somehow to the drop in the value of the radial velocity. If �)Ω3 is influenced primarily by the

change in the angular distribution of the tangential velocity, a proportionality between themaximum

radial velocity on )Ω3 and �)Ω3 could then be suggested. Figure 7 shows �)Ω3 as a function of the

maximum radial velocity on )Ω3. It appears there is a relatively strong proportionality between

the two variables. Therefore, a good starting point for modelling �)Ω3 as a function of the impeller

geometry would be to analyse the maximum radial velocity as a function of the impeller geometry.

Figure 7: �)Ω3 as a function of the normalised maximum radial velocity measured on )Ω3. Hollow symbols represent
6-RDT geometry whilst filled symbols represent the paddle-with-disk geometry.
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(a) (b)

(c)

Figure 8: Model fitting plots. (a) - Normalised maximum radial velocity measured on )Ω3, (b) - �)Ω3 , and (c) -
PoT,)Ω3 as functions ofW ∕D. Hollow symbols represent 6-RDT geometry whilst filled symbols represent the

paddle-with-disk geometry.

Figure 8(a) shows the maximum radial velocity normalised by the tip speed on )Ω3 as a function

of the ratio between the impeller width and diameter. It can be seen that for smaller impeller widths

the maximum radial velocity increases with increasingW ∕D. After increasing, there is a plateau

at a value of 1. This seems rather natural since it is unlikely the velocity will surpass the tip speed

of the impeller. The trendline represents the fitting function given by
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⟨ur,max⟩∕utip = 1 − e−B(
W∕D) (19)

where B is a fitting constant relating to the slope of the function at lower values of W ∕D. The

value of B was found to be roughly 7.35. There seems to be a very slight effect of the impeller

diameter, however this is likely due to the fact that the diameter of )Ω3 is always 3mm beyond that

of the impeller, regardless of the impeller diameter, which is the same as the methodology used to

measure the flow rate experimentally33. Further investigation would be needed to determine if there

was, instead of a fixed distance, a fixed normalised distance from the impeller that the flow should

be measured for the approach taken in this study, seeing as the maximum radial velocity should be

inversely proportional to the distance from the impeller. Since �)Ω3 is roughly proportional to the

maximum radial velocity, it is intuitive to use a similar function to that given in Equation (19) to

model �)Ω3 as a function of W ∕D. Figure 8(b) shows �)Ω3 as a function of W ∕D. As expected

the shape is practically identical to that in Figure 8(a), however there are some slight differences.

The first is rather obvious, in that the plateau is at a value lower than 1. This owes to the fact that

there is a switch from a property relating the maximum value of a distribution (the maximum radial

velocity), to a property of the distribution itself. It is expected that the maximum radial velocity

will approach the tip speed, but there is no expectation that the tangential velocity will approach

the tip speed at all locations on )Ω3. Therefore a constant � is introduced to account for this effect.

The second difference observed when modelling �)Ω3 as opposed to the maximum radial velocity,

is that there is a slight change in the slope at lower values of W ∕D. Although it is not clear why

the slope is slightly different, it is useful that both the change in the plateau and the change in the

slope can be characterised by the same proportionality constant, �, such that the fitting for �)Ω3 as

a function ofW ∕D is given by

�)Ω3 = �[1 − e
−(B∕�)(W∕D)] (20)

The value of � was found to be 0.68.
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The second transport term needing to be modelled in order to properly relate the generated flow

to the power consumption of the impeller is the part arising from the turbulent transport of angular

momentum. Although this term is much smaller than the convective term, between 5 and 10 times

smaller, it is still necessary to include it in order to establish a completely accurate model. It must

be noted that the analysis of the turbulent transport of angular momentum is limited in this study to

analysis of the turbulent properties solved for by the chosen turbulence model. Ideally the analysis

would involve analysing each individual component of the Reynolds stress tensor, where the tensor

is obtained by direct numerical simulation or some other highly accuratemeans. However, since this

is not practical/feasible, and since the turbulent contribution to the power consumption is relatively

small, analysis of the properties solved for by the turbulence model (namely the turbulent viscosity,

�t) should be sufficient for the modelling purposes of this study.

Since there is a change in the angular distribution of the time-averaged tangential velocity with

a change in the impeller width, as shown previously, and since this leads directly to a change in the

convective transport of angular momentum, it might seem reasonable to suggest there is a similar

change in the turbulent transport. Since �)Ω3 essentially represents a density of the tip speed on

surface )Ω3, and PoT,)Ω3 is simply equal to the integral of the turbulent transport on )Ω3, a pro-

portionality between the change in the convective transport and change in the turbulent transport

asW ∕D is varied would mean that PoT,)Ω3 can be modelled using a fitting function which is pro-

portional to the integral with respect toW ∕D of the function given in Equation (19). Figure 8(c)

shows PoT,)Ω3 as a function ofW ∕D. The results show that at smaller values ofW ∕D, the rate of

change of PoT,)Ω3 is increasing with respect toW ∕D and then at larger values ofW ∕D it appears

to become linear. This matches the hypothesis that it is proportional to the integral of the function

in Equation (19). Therefore, PoT,)Ω3 can be predicted by the following.

PoT,)Ω3 = C1

[(

W
D

)

−
((

1
B

)

e−B(W∕D)
)

− 0.136
]

(21)

where the constant C1 was found to be roughly 1.32. The value of −0.136 appearing in Equation

(21) is simply the constant of integration which ensures the function passes through the origin,
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since the integral is taken between x = 0 and x = W ∕D.

Therefore, for the fully turbulent regime where the transport of angular momentum due to inter-

molecular collisions, Po1, can be neglected, the power number for 6-RDTs and the paddle-with-disk

geometry with 6 blades is given by the following

Po =

�
⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞
�[1 − e−(B∕�)(W∕D)]�2NQ +

PoT
⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞⏞

C1

[(

W
D

)

−
((

1
B

)

e−B(W∕D)
)

− 0.136
]

(22)

The form of Equation (22) matches the empirical equation found for high-shear mixers, Equation

(5). However the use of the angular momentum balance has allowed for a much more detailed

analysis of the constants/functions involved. Without using the angular momentum balance �, and

PoT, would be forced to be constant and so the expressions developed would not be as accurate

over the range of geometries investigated in this study. In all of the results presented thus far, it is

apparent that the impeller diameter has little effect. in Uhl15 it is said theD∕T ratio has practically

no effect on the flow number for radial impellers. Our results therefore also show that the D∕T

ratio also has no effect on the parameters linking the power number to the flow number.

Since the power consumption is relatively easy to measure using torque measurements, it is

likely more practical to express the relationship so as to predict the flow number, since this is much

harder to measure experimentally, such that

NQ =
(

Po −
(

C1

[(

W
D

)

−
((

1
B

)

e−B(W∕D)
)

− 0.136
]))

�−1[1 − e−(B∕�)(W∕D)]−1�−2 (23)

Figure 9(a) is a parity plot showing the primary flow, as measured from the bottom to the top

of the impeller blades, calculated from the CFD simulations, as a function of the predicted primary

flow given by Equation (23). It can be seen that the model developed in this study is very capable,

(mostly well within 10% error) of predicting the primary flow rate generated by the impeller using

the power number of the impeller and the impeller geometry for wide range of geometries.
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3.2. Modelling of the total flow rate

The same methodology can be used as in the previous section to create a model in order to

relate the power consumption of the impeller to the total flow generated by the impeller, including

all of the entrained flow directly above and below the impeller blades. This is of course achieved

by expanding the control volume in the axial direction to the point where all of the entrained flow

above and below the impeller blades is captured by the surface )Ω3. Then, new values of �)Ω3
and PoT,)Ω3 can be obtained and analysed. These new values shall be denoted �t,)Ω3 and PoT,t,)Ω3
respectively. Being able to predict the total flow might show certain benefits since it might be

possible, for example, to more accurately predict mixing time in a tank by correlating the mixing

time with the total flow, a seemingly more intuitive characteristic, rather than just the primary flow.

From the CFD results, the fitting functions for �t,)Ω3 and PoT,t,)Ω3 were found to be

�t,)Ω3 = �[1 − e
−(B∕�2)(W∕D)] (24)

PoT,t,)Ω3 = C2

[(

W
D

)

−
((

1
B

)

e−B(W∕D)
)

− 0.136
]

(25)

In Equation (24), the value of the plateau is the same and is determined by �. The reason for the

plateau being at the same value is that for larger values ofW ∕D there is practically no difference

between the primary and total flow rates. The difference between the primary and total flow rates

is much more prominent for lower values of W ∕D, as can be seen by the radial and tangential

velocity profiles in Figure 5. For that reason the slope has to be modified to account for the change

in the flow rate (and hence change in �max,)Ω3). This is accomplished by the introduction of �2,

the value of which is found to be roughly 1.14. The fact this constant is now much closer to unity

likely owes to the fact that the full velocity profiles generated by the impeller are being taken into

account, and they are not "cut-off" as such in the way they are when only the primary flow is used.

In this sense, it might seem the change in the slope for the primary flow, (between Figures 8(a) and

8(b)) characterised by �, accounts for the change in the shape of the primary radial velocity profiles
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at lower W ∕D, which is also resulting in a change in the primary/total flow ratio. Using the full

velocity profile might mean this effect is much less prominent and the proportionality between the

maximum radial velocity and � is stronger. The constant C1 has also been modified to account for

the extra turbulent stresses. The new constant C2 has a value of roughly 1.51. Therefore, the total

flow number, capturing both the primary and secondary flow, can be predicted with the following

NQ,t =
(

Po −
(

C2

[(

W
D

)

−
((

1
B

)

e−B(W∕D)
)

− 0.136
]))

�−1[1 − e−(B∕�2)(W∕D)]−1�−2 (26)

Figure 9(b) shows the parity plot for the prediction of the total flow number. It can be seen that

Equation (26) works well in predicting the total flow and so with Equations (23) and (26) we are

able to accurately predict both the primary and total flows generated by the impeller based on the

power consumption of the impeller and the impeller geometry.

(a) (b)

Figure 9: Parity plots showing (a) -primary flow number and (b) total flow number, obtained from CFD, as functions
of the predicted ones given by Equations (23) and (26) respectively. Grey shaded areas represents ±10% relative
error. Hollow symbols represent 6-RDT geometry whilst filled symbols represent the paddle-with-disk geometry.

Red symbol represents experimental data from Rushton et al12.
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3.3. Power consumption in the laminar regime

As discussed in Section 1, in the laminar regime the contribution to the power consumption

from convective transport of angular momentum is negligible compared to that of the shear stress,

and there is also no transport due to turbulence. The power number in the laminar regime is solely

a function of the Reynolds number and the impeller geometry in this case. It has been shown both

empirically and theoretically that the power number should always be inversely proportional to

the Reynolds number, regardless of the geometry, and then the proportionality is a function of the

impeller geometry. If the distribution of the normalised shear stress in the angular direction (from

one blade to the next) is not a function of the impeller geometry, then the power number should

have a linear relationship with the impeller width/diameter ratio, where the intercept represents a

constant amount of shear stress arising from surfaces )Ω1 and )Ω2.

(a) (b)

Figure 10: (a) - Product of power and Reynolds numbers as a function ofW ∕D for the laminar regime. (b) Parity plot
showing accuracy of Equation (27); grey shaded area represents ±10% relative error.

Figure 10(a) shows the product of the power and Reynolds numbers as a function of the impeller

width to diameter ratio. There is a strong linear relationship between the two variables, with a

significant positive intercept. The slope here is essentially the proportionality constant between

the integral of the shear stress related transport of angular momentum across )Ω3 and the assumed
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value of the integral using the characteristics of the impeller. The fact the relationship is linear

proves that in the laminar regime, the distribution of the shear stress across )Ω3 is indeed not

a strong function of W ∕D, this was not true for the turbulent regime, which complexified the

predictive models. However, whilst in the turbulent regime, the transport across surfaces )Ω1 and

)Ω2 could be neglected due to the cancelling of the errors in the convective and turbulent transport

terms, the same cannot be said for the laminar regime. Therefore the only way to predict the power

consumption in the laminar regime is to include the intercept shown in Figure 10(a). The power

number in the laminar regime, Po1, can therefore be given by

Po1 =
[

CL1

(

W
D

)

+ CL2

]

1
Re

(27)

where the values of the constants CL1 and CL2 are roughly 143 and 40 respectively. It can therefore

be seen that to account for changing impeller geometries, the assumed constant kL in Equation (18)

cannot be used alone, due to the contribution of shear from the top and the bottom of the impeller.

kL might be thought of as representing just the slope in Figure 10(a).

The accuracy of this fitting can be observed in Figure 10(b) which shows the actual CFD cal-

culated power number as a function of the predicted value using Equation (27). Note the inter-

changeability between Po and Po1 since, as already discussed, in the laminar regime this is the

only significant contribution to the power consumption of the impeller. Due to the inclusion of

the Reynolds number in Equation (27), this term can simply be added to the right hand side of

Equation (22) to create a model for predicting the power number across the laminar and turbulent

regimes, since the extra contribution from this term will be physically inaccurate but negligible in

the turbulent regime but highly accurate in the laminar regime where the convective and turbulent

terms will be physically inaccurate but negligible.It must be said that this will likely not work in

the transitional regime.
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4. Conclusions

In this study we have investigated the relationship between power, flow and impeller geometry

for radial impellers in stirred vessels. An angular momentum balance was performed on the im-

peller in order to develop a physically sound expression linking the power consumption of and flow

generated by a radial impeller, and then with CFD results, we were able to investigate how each

of the terms in the expression is a function of the impeller geometry. This allowed for the devel-

opment of semi-empirical models which were found to be accurate over a wide range of impeller

geometries. The models allow the accurate prediction of both the primary and total flow provided

one measures the power consumption of the impeller, which is considerably easier than measuring

the flow.

The expressions developed within this study are able to be used directly by practitioners in

industry to accurately estimate important characteristics of impellers in stirred vessels. This will

reduce the need the need for costly and time consuming exploratory experiments. The study also

highlights the effectiveness of the angular momentum balance, and will hopefully act as a guide

for future research in this subject. Experimental studies based on dimensional analysis often result

in correlations where the meaning of the terms is not well understood. Using the approach in this

study, each term in the resulting expression can be well understood intuitively. It might even be

possible to derive these terms from a more fundamental approach, if more rigorous studies into the

effect of the impeller geometry on the generated velocity profiles were performed. The approach

of the angular momentum balance might also be applied to other types of impellers, such as axial

flow impellers, and it also should not be too difficult to extend the models to include non-newtonian

fluids.
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Nomenclature

Roman Symbols

⟨u⟩ mean velocity [ms−1]

u′ fluctuating velocity [ms−1]

ê3 Unit normal in the axial direction [−]

n̂ unit vector normal to control surface [−]

PoZ empirical constant [−]

Znorm vertical distance from bottom of impeller blades
divided byW [−]

B empirical constant [−]

C impeller off-bottom clearance [m]

C1 empirical constant [−]

C2 empirical constant [−]

CL1 empirical constant [−]

CL2 empirical constant [−]

D impeller diameter [m]

g acceleration due to gravity [ms−2]

H head [m]

k empirical constant [−]

k1 empirical constant [−]

kL assumed constant of proportionality [−]

kt assumed constant of proportionality [−]

L blade length (for paddle-with-disk L = D) [m]

m torque [kgm−2 s−2]

N rotational speed [s−1]

P power consumption [W]

p static pressure [kgm−1 s−2]

Q volumetric flow rate [m3 s−1]

r radial position [m]

Sij mean rate-of-deformation tensor [s−1]

T vessel diameter [m]

u velocity [ms−1]

ur radial velocity component [ms−1]
utip impeller tip speed [ms−1]
ur,max maximum radial velocity [ms−1]
W distance between top and bottom of impeller blades
(blade width) [m]

Greek Letters
� empirical constant [−]
�2 empirical constant [−]
� momentum flux correction factor based on primary
flow [−]

�t momentum flux correction factor based on total flow
[−]

�ij Kronecker delta [−]
� turbulent kinetic energy dissipation rate [m2 s−3]
� pumping efficiency [−]
� dynamic viscosity [kgm−1 s−1]
�t turbulent viscosity [ms−2]
Ω control volume [−]
Ω(t) material volume [−]
)Ω control surface [−]
� density [kgm−3]
�ij total stress tensor [kgm−1 s−2]
�ij deviatoric stress tensor [kgm−1 s−2]
� angular coordinate relative to blade tip [degrees]
" Levi-Civita symbol [−]
Dimensionless numbers
NQ flow number (primary flow) [−]
NQ,t flow number (total flow) [−]
Po1 laminar contribution to power number [−]
PoT turbulent contribution to power number based on
primary flow [−]

PoT,t turbulent contribution to power number based on
total flow [−]
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Po power number [−]
Re Reynolds number [−]
Abbreviations
CFD Computational Fluid Dynamics
PBT Pitched Blade Turbine

RANS Reynolds Averaged Navier-Stokes Equations

RDT Rushton Disk Turbine

Sub/Super scripts

)Ω3 measured only on control surface )Ω3 [−]
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